where predictions are compared with PDA data. This highlights the need to develop first principles atomisation models without the need for case-by-case adjustment.
Introduction
Pressurised metered dose inhalers (pMDI) are known as the most efficient and widely used aerosol delivery devices in the world to treat asthma (Dolovich & Fink, 2001 ). Portability, light weight, pocket size in combination with device robustness, ease of operation and high dose numbers are the most notable characteristics, which make pMDIs an attractive choice from the patients' perspective. The pMDI produces a therapeutic aerosol consisting of large numbers of droplets within the respirable size range (below 5 µm), but, despite having been on the market for more than half a century, the droplet generation processes of the device are still poorly understood (Finlay, 2001; Versteeg et al., 2006; Gavtash et al., 2014) .
The thermo-fluid dynamics of two-phase flashing propellant inside the twin-orifice system of the pMDI plays a significant role in determining aerosol characteristics such as droplet size and spray velocity. The phenomenological flow model of Fletcher (1975) and Clark (1991) , as well as the implementations by and Ju et al. (2010) , have greatly contributed towards the understanding of propellant flow in pMDI twin-orifice systems. The original work of Fletcher and Clark was developed based on two main assumptions:
(i) thermodynamic equilibrium in the metering and expansion chambers, and (ii) homogeneous frozen flow through the valve and spray orifices. Fletcher (1975) developed mathematical representations of steady, two-phase propellant flow through twin-orifice systems for continuous discharge. The model was constructed to predict mass flow rate through valve and spray orifices as a function of thermodynamic properties of upstream flow in the chambers and geometric device parameters. These predictions allowed for subsonic and choked discharge conditions. Results showed that the prediction of exit velocity under choked discharge conditions agreed more closely with experimental data, compared with predictions under subcritical conditions. Subsequently, Fletcher's theoretical model was further developed by Clark (1991) for metered discharge and compared with experiments on pMDIs. Although the outcome of the models was in reasonable general agreement with experimental results, a number of problems remained unsolved. Firstly, the measured expansion chamber temperature was higher than the saturation temperature corresponding to the measured expansion chamber pressure suggesting that metastablity of the propellant played a part. Secondly, the velocity of the plume outside the spray orifice was underestimated (Clark, 1991, pp. 181 ).
Clark conjectured that the dominant atomisation mechanism of the pMDI was due to aerodynamic forces similar to air-blast atomisation. He proposed that the propellant is pre-atomised into liquid ligaments during its passage from the metering chamber to the expansion chamber. Next, two-phase propellant mixture enters the spray orifice in the form of liquid ligaments and rapidly expanding propellant vapour. The vapour flow squeezes and shears off liquid ligaments from which smaller liquid segments are generated. These exit the spray orifice as small spherical droplets. In air-blast atomisation, the pressure droplet across the atomiser and the gas/liquid ratio are the most significant controlling factors governing the droplet size. Clark (1991) applied this approach to ligament disintegration in pMDIs. He correlated measured droplet size data with the peak expansion chamber pressure and the corresponding vapour quality from his theoretical model to obtain the following empirical correlation for the mass median aerodynamic diameter (MMAD in µm):
1 where is ambient pressure. Clark reported a good fit with measured data, but different values of the constant were required for continuous and metered discharge: = 8.02 µm and 1.82 µm, respectively. The best fit of data for metered atomisation also needed an additive constant (Clark, 1991, pp. 208) , but this was not considered in the work of Clark (1991) .
Attention is drawn to the fact that it is possible to measure the peak pressure , but the vapour quality in the expansion chamber cannot be measured directly, so equation 1 must be solved using values of these parameters generated by a theoretical model of propellant flow. Accurate models of the two-phase flow are, therefore, essential for the prediction of droplet size with equation 1. The models by
Fletcher and Clark assumed homogeneous flow conditions in the spray and valve orifices, so vapour and liquid move at the same speed. Ju et al. (2010) to include the effect of ethanol as co-solvent in propellant. This work also used = 8.02 to predict the size of the spray droplets.
Although the phenomenological model has a good track record, the above assessment of past work suggests the following issues require more detailed study:
(i) the most useful combination of thermodynamic and fluid dynamic assumptions for satisfactory prediction of the mass flow rate and spray velocity, (ii) the most appropriate choice for metered pMDI discharge events of the constant in Clark's correlation. The aim of this work is to assess the applicability of different numerical models of the propellant flow inside a pMDI actuator with focus on mass flow rate through and fluid conditions in the spray orifice. It should be noted that considerable differences in the predicted flow rate and pressure ratios from various 1-D models of flashing propellant flows have been identified previously (Huff, 1985) . Thus, the task at hand is to compare the performance of alternative 1-D models of flashing propellant flow in pMDI applications. Predicted near-orifice spray velocity will be validated against PDA measurement for different propellant systems and actuator geometric properties. Additionally, we investigate the most appropriate choice of constant in Clark's correlation for the prediction of instantaneous droplet size during metered pMDI discharge by comparing model results with the temporal PDA measurements of droplet size. Fletcher (1975) and Clark (1991) give a clear conceptual image, which forms the basis of models of propellant flow in twin-orifice systems. 
Materials and methods

Conceptual model of flow in pMDIs
General modelling assumptions
Thermodynamic effects are responsible for the flow in this conceptual model.
Following Fletcher (1975) and Clark (1991) , the modelling assumptions are listed as below:
• One-dimensional flow: only variations of the propellant flow in the flow direction are considered.
• Quasi-steady flow: the flow discharge process through the actuator is assumed to be quasi-steady.
• Adiabatic flow: due to the rapid nature of the metered discharge the residence time of the propellant flow in the spray orifice is too short (order of 10-20 µs) for significant heat transfer to take place between the actuator walls and the propellant.
• Fluid energy budget: variations in propellant temperature and kinetic energy are due to evaporation and expansion caused by local pressure differences.
Any contribution due to surface energy is neglected.
• Gravity: The effect of gravitational force on the propellant flow is neglected in the calculations. Consequently, the orientation of the valve orifice and spray orifice is unimportant.
• Zero velocity inside supply reservoir (chambers): for a typical metering valve geometric parameters, preliminary calculations based on continuity of mass suggest that the velocity inside chambers is approximately 2% of the velocity inside orifices and hence negligible. Moreover, the velocity of the fluid in expansion chamber is vertically downwards; the momentum and energy of this flow stream will be substantially destroyed in turbulence at the bottom of the sump before the fluid collects and flows into the spray orifice. Presence of velocity inside the chambers results in static pressure reduction. In this case, less driving force becomes available to push the flow out of the spray orifice.
Therefore the velocity inside the spray orifice should be marginally lower.
• Frictionless flow: the two-phase flow undergoes isentropic expansion inside orifices.
• The fraction of drug in the propellant is very low (typically less than 1% w/w). The conceptual image associated with the SEM model involves an annular liquid film along the walls of the nozzle surrounding a vapour core. Similar to HEM, the vapour is assumed to be at thermodynamic equilibrium at the nozzle exit. However, the SEM model is a separated flow model; hence, the phases are travelling with different velocities characterised by the velocity slip ratio = / , where = vapour velocity and = liquid velocity.
Mathematical formulations
Mixture properties
In thermodynamic equilibrium, the average specific volume, ̅ and average specific enthalpy, ℎ � of a vapour/liquid propellant mixture may be evaluated using equations 2 and 3:
where subscripts and denotes gas and liquid phase, respectively. Parameter denotes the quality (vapour mass fraction) of the two-phase mixture. Symbols and ℎ represent specific volume and specific enthalpy. Values of these properties for propellants were evaluated with the fluid property database REFPROP V.7.0 (National Institute of Standards and Technology, Gaithersburg, MD, USA).
Fluid state inside metering chamber and expansion chamber
The conditions in the metering chamber and expansion chamber are assumed to be homogeneous and in thermodynamic equilibrium. The thermodynamic state of the two-phase propellant mixture in the chambers is defined by the local quality and temperature . These are related to the average specific volume and average specific enthalpy of the propellant in a chamber using the following equations:
where = − and ℎ = ℎ − ℎ are the specific volume change and specific enthalpy change due to evaporation. Furthermore, propellant mass is denoted by and propellant enthalpy in a chamber at any instant of time and is the volume of a chamber.
Since the fluid is assumed to be in thermodynamic equilibrium in the metering and expansion chambers, the thermodynamic properties of the propellant are defined on the saturation line and hence they are unique functions of temperature. Thus, equations 4 (a-b) are a system of two equations with two unknowns: quality x and temperature T. Elimination of from equations 4 (a-b) yields:
Equation 5 is a non-linear equation for the instantaneous chamber temperature , which may be solved using the Newton-Raphson method. When is computed, the quality in a chamber at that instant can be calculated by substitution of its value in equation 4 (a) or 4 (b).
The instantaneous mass of propellant, within a chamber is a function of time. As the metered discharge event progresses, the instantaneous mass in a chamber is equal to the difference of mass flowing into and out of a chamber through orifices at any time and may be found using equation 6:
where, ̇, and ̇, denote the mass flow rate into and out of a chamber, respectively. For the case of metering chamber, the term ̇, is zero as there is no mass flow into this space. Integration of the equation 6 from the start of actuation event ( = 0), to an intermediate time = , yields:
where (0) is the initial propellant mass in a chamber and ̇, ( ) and ̇, ( ) are the instantaneous mass flow rates into/out of a chamber, respectively. Similar to the propellant mass in a chamber, the enthalpy of a chamber is also a function of actuation time. The energy conservation equation for a chamber can be written as follows:
After integration the chamber enthalpy at any actuation instant can be calculated using equation 9:
where (0) is the initial enthalpy in the chamber. ̇, ( ) and ̇, are the mass flow rate into and out of a chamber, respectively, and ℎ , and ℎ , are the specific enthalpies of the propellant mixture in the chambers. The velocity inside the chamber was assumed to be negligible, hence kinetic energy terms in this region can be disregarded. For the sake of simplicity the Euler forward differencing was chosen to integrate equations 7 and 9. The size of time step Δ used to perform the integrations in equations (7 and 9) was systematically reduced (down to 0.25 ms) to ensure that all results were independent of this parameter.
Flow through valve orifice and spray orifice
In order to evaluate flow changes in chambers, expressions for instantaneous two-phase mass flow rate are required to estimate mass loss from the chambers along the actuation. As propellant travels through orifices the flow regime may be either sub-critical or critical. Critical flow occurs when the velocity of fluid at the exit plane of an orifice reaches the sonic velocity (Hewitt and Hall-Taylor, 1970 ). Critical flow (also known as choked flow) is a limiting condition of mass flow rate. This condition prevails when the mass flow rate does not increase as the pressure of the downstream environment further decreases, while upstream pressure is fixed.
• HEM model of orifice flow
For subcritical discharge through an orifice, neglecting the kinetic energy of the two-phase mixture in the upstream supply reservoir, the mass flux through an orifice between an upstream and downstream reservoir at known pressures can be calculated as follows:
where is discharge coefficient and subscript 0 denotes stagnation conditions. The method developed by Starkman et al. (1964) is used to determine critical (choked) discharge for a given fluid pressure and temperature in the upstream reservoir. The ratio of downstream and upstream pressures across the orifice is systematically reduced from 1 to 0 in small steps. At each step the mass flux is evaluated and, finally, the maximum mass flow rate is determined, which corresponds to the critical discharge for the given upstream conditions.
• SEM model of orifice flow
Using the definition of slip ratio ( = / ), the following relation for mass flux can be established (Moody, 1965 ):
where is calculated using equation 12, assuming isentropic development of the two-phase mixture:
where is the entropy and ̅ 0 is the average two-phase entropy inside and at supply reservoir condition. The slip ratio is computed as follows:
The critical discharge is determined using Starkman's method of step-wise reduction of pressure ratio across an orifice described for the HEM.
• HFM model of orifice flow
In the subcritical discharge regime, the mass flux at the orifice throat (Clark, 1991) is obtained from:
,0
where η = / 0 , represents the ratio between downstream and upstream pressures.
For the case of critical discharge, the throat pressure in equation 14 is no longer equal to the downstream reservoir pressure as the choking pressure or critical pressure, is generally higher. The critical pressure ratio is denoted by = / 0 .
Rather than adopting a search strategy for the maximum mass flux, the HFM iteratively solves equation 15 (a) for critical pressure ratio developed by Fletcher (1975) :
15(a)
where:
Once is known, the critical pressure can be found and the mass flux is evaluated using equation 14 with = .
Near-orifice spray expansion model for critical discharge conditions
As diagrammatically shown in figure S1 , in the online supplemental information (see SI, section S1), in choked conditions, the pressure at the spray orifice exit is higher than the downstream atmospheric pressure . The emerging mixture experiences a rapid expansion to the pressure of the surroundings outside the nozzle exit. Fletcher (1975) suggested that this should result in rapid vapour acceleration in the near-orifice region. The velocity increment Δ is computed by means of a 1-D axial momentum balance on the diverging control volume, highlighted in figure S1 (see SI, section S1) by means of a dashed red line:
In equation 16, subscripts "NO" and "SO" denote near-orifice and spray orifice exit regions, respectively. This equation was derived by Fletcher for continuous discharge, but here it is applied to metered discharge, which is consistent with quasi-steady assumption proposed by Clark (1991) .
In equation 16, the average two-phase velocity at spray orifice exit, , is calculated from the continuity equation:
where ̅ is the average specific volume of the propellant at the spray orifice throat.
Depending on the preferred spray orifice model, is calculated from equation 10, 11 or 14.
The SEM model computes separate vapour and liquid velocities. In addition to these values, an average propellant velocity is also reported for the SEM. It is computed by assuming that the velocities of both phases are equal at the exit of the near-orifice control volume where the liquid and vapour momentum flows are mixed out. This allows us to predict a maximum value of the SEM droplet velocity.
Model validation
Results of the numerical models were compared with phase Doppler anemometry droplets to arrive at this point. During this travelling time, droplets transfer momentum to and mix with surrounding gas slowing down the spray. Hence, the PDA curve appears to be stretched in temporal direction. These effects are expected to be minimised as the PDA measurement point is closer to the nozzle exit.
The predicted duration of the spray event varies substantially for the different models for prediction of the mass flow rate. It can be observed that HEM overpredicts near-orifice plume velocity for the entire actuation duration. The vapour phase velocity predicted by SEM is very large compared with the PDA data. These high velocity predictions are linked to the equilibrium assumption, which causes high predicted levels of evaporation inside the spray orifice. It should also be noted that the HEM and SEM predict higher pressure at the exit plane of spray orifice, compared with the spray orifice pressure predicted by HFM. The temporal variation of pressure at spray orifice exit for different orifice flow models is shown in figure 4 for modelling parameters of table S1, for HFA134a. As the propellant expands to ambient pressure, the driving force for near-orifice acceleration is larger causing a higher near-orifice velocity increment, Δ , as predicted by equation 16. For the sake of completeness, the corresponding spray orifice exit pressure, for HFA227, for the same modelling case is presented in figure S2 (see SI, section S1). Table S1 and HFA134a
Figure 4 Pressure at the exit plane of spray orifice as function of time for modelling parameters of
According to figure 3, it can be seen that the liquid velocity predicted by SEM is below the extrapolated PDA data over the whole actuation event. However, it is interesting to note that the average velocity predicted by this model is reasonably It is interesting to note that Dunbar questioned the existence of two velocity extrema and hypothesised that data dropout in dense spray regions was responsible for the velocity minimum (Dunbar, 1996 ; sections 3.6.1.1 -3.6.1.3). However, more recent PIV measurements by Crosland et al. (2009) , as well as PDA measurements of Wigley et al. (2002) and those of Myatt et al (2015a-b) , support the existence of both velocity extrema.
Droplet size predictions
Predictions of temporal evolution of spray droplet size were made using a quasi-steady implementation of equation 1 for different modelling cases. In the previous section, two-phase average velocity predicted by SEM, and the HFM velocity, showed best agreement with measured velocities. Hence, these should be used for the internal flow calculations in droplet size predictions. Figure 6 shows the values of equation 1 as function of time using =1 and instantaneous values of expansion chamber quality and pressure evaluated with the HFM and SEM models using the test case parameters summarised in table S1. It can be seen that the models predict similar values for the two propellants HFA134a and HFA227 during the key phase of the actuation. The point at which SEM and HFM curves diverge from one another, is dictated by the predicted mass flow rate, which is slightly higher for SEM. Due to this similarity, the HFM flow model was used, because it showed the best estimates of the temporal distributions of near-orifice velocity and has good track record in predicting mass flow rate of flashing flows in short tubes (Huff, 1985; Sher, 2008; Gavtash et al., 2014) . Droplet size values predicted using Clark's correlation (equation 1) for test case with data summarised in tables S1-S3 are compared with PDA data in figures 7 (a-d). The value of constant is adjusted to obtain the best match of the prediction curves with PDA measurement. PDA data is represented using the arithmetic mean diameter, denoted by D 10 , and the Sauter mean diameter, denoted by D 32 (Lefebvre, 1989) . According to figure 7 (a-b) , it can be seen that the temporal trend of the predicted droplet size follows more closely the measured trend of D 10 , for both propellants over the duration corresponding to 95% mass emission. This duration is shown with solid line and the remaining 5% propellant emission is shown using 
Conclusion
The lack of a firm basis regarding two-phase flow regime and rates of interphase phenomena inside twin-orifice system of pMDI makes it difficult to be certain about the most relevant combination of thermodynamic and fluid dynamic assumptions for satisfactory prediction of the mass flow rate and spray velocity. This requires assessing the applicability of different two-phase orifice flow models to pMDI devices.
With reference to primary atomisation, the only available tool is Clark's (1991) empirical correlation with a tuneable constant, the value of which requires measurements of the droplet size. In this work we have studied these issues by comparing the spray velocity and droplet size predicted by our pMDI flow models with available PDA measurements in the literature.
Predicted flow velocity in the near-orifice region was directly related to the amount of evaporation assumed by the flow models. The predicted velocities of HEM and SEM vapour were the highest in the near-orifice region, because the choking pressure is predicted to be higher at spray orifice exit for the equilibrium models. This leads to large flow acceleration in near-orifice region. The SEM liquid phase velocity on the other hand was consistently well below the plume velocity. The HFM predicts the lowest near-orifice average two-phase velocity, which was generally closer to the PDA data. The closer agreement of HFM with data may suggest the non-equilibrium nature of the pMDI flow. Fauske (1985) suggested that a length-to-diameter ratio ( / ) around 12-16 is required to approach thermodynamic equilibrium discharge in a pipe flow. For a typical pMDI actuator / is around 2-3, so the propellant will emerge from the valve orifice and spray orifice as a metastable fluid with excess energy. Such excess energy is released outside the spray orifice as the propellant liquid flashes off.
Quasi-steady implementation of Clark's (1991) 
S2. Supplemental Tables
S3. Details of model validation
The internal flow model predicts velocity values in the near-orifice region immediately outside the spray orifice. This is a fictitious point where all superheated HFA has flashed off and the spray has experienced the acceleration due to the velocity increment ∆ in the near-orifice zone. The phenomenological models evaluated in this work do not contain an account of the axial development of flow in this region.
Therefore, the distance, where the HFA flashing and spray acceleration are complete, is unknown. Clark (1991) implies that the relevant changes take place within a short axial distance from the actuator nozzle. As stated above, the PDA measurements of and are located in the far-field spray region ( / ≥ 50). It is then essential to have knowledge of the spray velocity decay rate with respect to axial distance to extrapolate such PDA results to the near-orifice position corresponding to model prediction.
If the spray plume follows quasi-steady jet/plume relationships (Abramovich, 1976) , the velocity would be inversely proportional to the distance from the effective plume source location as described by:
Where and are plume centreline and reference velocity respectively. is the model constant and represents the diameter of the spray orifice. Parameter is the distance to the spray orifice and is the distance from the spray orifice exit to the effective jet/plume source location. The nonlinear least squares method using the Levenberg-Marquardt algorithm was implemented in Matlab (Mathworks, Natick,MA, USA) to determine the best-fit model constants , and in equation S1 from axial distributions of plume centreline velocity in the PDA data sets of Dunbar (1996) and .
Variation of plume centreline velocity with respect to axial distance from the spray orifice measured by Dunbar (1996) is presented in figure S4 (shown by discrete red square markers). Figure S5 shows the axial spray velocity on the nominal spray orifice axis of a Bespak 630 series actuator using HFA134a and HFA227 as propellants at locations between 5 and 100 mm from the spray orifice from . The best-fit coefficients of equation S1 for these two datasets are summarised in table S4. The 2 values of the best-fit lines were greater than 0.98 for all three cases.
In the current validation activity, the near-orifice location of 10 mm from the spray orifice exit plane was chosen for comparison between PDA data and numerical results. This is the closest distance to the spray orifice where velocity values can be measured by PDA with high accuracy, as determined by .
Closer to the spray orifice, the PDA measurements showed considerable data dropout, which is indicative of dense spray effects, reducing the reliability of the measured values in this region. 
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